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ABSTRACT: We present a plane strain finite element model for simulation of the devel-
opment of process-induced deformation during autoclave processing of complex-shaped
composite structures. A “cure-hardening, instantaneously linear elastic” constitutive
model is employed to represent the mechanical behaviour of the composite matrix resin,
and micromechanics models are used to determine composite ply mechanical properties
and behaviour, including thermal expansion and cure-shrinkage. Structures with multiple
composite and non-composite components can be simulated through the use of such
strategies as adaptive time-stepping and incorporation of multiple composite plies into
each finite element. The effect of process tooling can also be directly modelled through
simulation of tool/part interfaces and post-processing tool removal. Integration of the
residual deformation model with models for heat transfer and resin cure and resin flow
permits analysis of all major identified sources of process-induced deformation during the
autoclave process. Model application is demonstrated through prediction of pro-
cess-induced deformation of a number of variations of a simple L-shaped laminate. The
model is shown to provide accurate predictions of both spring-back angle and warped
shape of the final part.
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INTRODUCTION

he combination of light weight, high stiffness and strength, and durability of
Tadvanced composite materials has made them an attractive option for numer-
ous high-performance applications in aerospace and other industries. However, in
order for composites to attain their full potential, their very high base costs must be
offset by significant reductions in manufacturing costs relative to competing ma-
terials. One of the most promising paths to achieving required cost reductions is by
exploiting the capability of autoclave processing to directly fabricate large, com-
plex composite structures without resorting to extensive machining and fastening
operations. However, current trial-and-error process development techniques are
not well-suited to the complex task of developing the required robust manufactur-
ing processes which can consistently produce high-quality structures within strict
dimensional tolerance requirements.

A promising tool for both reducing process development costs and improving
part quality is the application of numerical simulations of the autoclave process.
As described in a recent review article [1], a number of increasingly complex and
capable computational models for the autoclave process have been developed.
Some of these models have focused on only one of the many phenomena involved
in this process, such as heat transfer and resin reaction kinetics [2—4], resin flow
[5,6], or stress development [7,8] while other models have been more broad in
scope, examining a number of important processing phenomena and their interac-
tions [9-12].

For the more comprehensive of these process models, a modular approach is
typically employed for the overall model structure [9,12]. As illustrated in Figure
1, using this approach, the problem is divided into a series of “sub-models,” or
“modules,” each responsible for performing a related set of tasks such as predic-
tion of temperature and resin degree of cure (“thermochemical module”) or pre-
diction of resin flow (“flow-compaction module”). Coupling between these mod-
ules is maintained by solving each in sequence as the solution marches forward in
time. At the beginning of each time step, an “autoclave simulation” module, simu-
lating automated autoclave control and response, updates all autoclave environ-
mental variables including autoclave air temperature and pressure, and vacuum
bag pressure. A more detailed description of the implementation of this type of ap-
proachis provided in Reference [12]. The current paper focuses on the formulation
and numerical implementation of the module dealing with the development of re-
sidual strain and deformation during processing (the “stress-deformation mod-
ule”).

Process-induced residual stress and deformation are two of the most critical is-
sues in autoclave processing of composite structures. Residual stresses in them-
selves can have a significant impact on the performance of composite structures,
potentially reducing both ultimate strength and fatigue life [13]. Process-induced
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Figure 1. Schematic of COMPRO structure and program flow.

deformation has become an increasingly important issue as composite structures
are employed in applications with strict tolerance requirements. Potential prob-
lems are especially acute for large, stiff structures where the loads required for
force-fits are often prohibitive and a “shim-to-fit” strategy is not economical.
While process-induced stress and deformation are to some extent unavoidable in
autoclave processing, foreknowledge of the amount of each can be used to com-
pensate in structure and tooling design. Thus, in many applications, the most im-
portant issue related to deformation is not necessarily reduction of its absolute
value, but rather reduction of its variation.

As discussed in Adolf and Martin [14], the majority of previous analyses of pro-
cess-induced residual stress and deformation in laminated composites have been
based on the assumption that the only significant source of residual stress and de-
formation is “non-uniform” ply thermal strains, with ply thermal strains being
generally much higher transverse to the fibres than along the fibre direction. How-
ever, more recent work has revealed a number of other important sources of resid-
ual stress and deformation including resin cure shrinkage strains [e.g., 8,11,14],
non-uniform resin flow [15], cure gradients [11] and “tooling effects” [16,17]. For
a stress and deformation model to consider all of these effects, it must examine the
following phenomena throughout the entire process cycle:
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heat transfer within the structure and tooling and at their boundaries
the kinetics of the matrix resin curing reaction and resin cure shrinkage
flow of the resin within the curing composite and at its boundaries

part and tooling thermal strains

tooling mechanical constraints

Although two previous models examined stress development throughout pro-
cessing [8,11] neither considered flow or tooling (mechanical) effects and both
were limited to examination of relatively simple geometries (flat plates). Thus, de-
spite the significant advances in the science of process modelling represented by
recent models such as these, composites processors remained without an effective
analytical tool for assisting in autoclave process development including tool and
structural design.

To address this deficiency, a new special purpose finite element code called
COMPRO [12,18,25] has been developed. By integrating a 2-D (plane strain) fi-
nite element stress and deformation analysis module with analyses of component
temperature, resin degree of cure, resin flow and fibre bed compaction, this model
can examine all major sources of process-induced stress and deformation identi-
fied in the literature in addition to the effects of tooling. Numerous techniques are
employed to minimize the required computational effort including the use of an
adaptive “time-stepping” algorithm, using an efficient “skyline” matrix solver,
and allowing incorporation of multiple composite plies within each element. Cou-
pled with continuing advances in available computing power, these methods allow
examination of structures of significant size and complexity, including extensive
sensitivity analyses, using very modest computational resources.

This paper outlines the development of the stress-deformation module in
COMPRO and presents a representative case study demonstrating the application
of this module to a simple processing problem.

MODEL DEVELOPMENT
Assumptions

As with all other modules of the COMPRO process model, the stress-deforma-
tion module examines a 2-D cross section of a component (Figure 2). This is be-
lieved to be adequate and appropriate for many composite structures, given that at
least one dimension is usually very large compared to the other two. A similar as-
sumption has also been used for prediction of process-induced stress in previous
analyses [19,20].

The following major assumptions made in the present model should be noted:

® A plane strain condition is assumed to prevail in the x-z plane and thus only a
cross-section through the part is discretized.
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Figure 2. Composite element containing multiple plies, shown in: (a) isometric view and (b)
plane view.

All composite plies are assumed to run parallel to the E-axis of the element (see
Figure 3) in which they are contained.

All plies are assumed to be “unidirectional” (i.e. reinforced with continuous
fibres, all aligned with one axis of the ply), with a fibre orientation in the “1” di-
rection as illustrated in Figure 2. Woven plies currently must be modelled as a
combination of unidirectional plies.

The composite resin behaves as a “cure-hardening instantaneously linear elas-
tic” (CHILE) material, with a modulus that increases monotonically with the
degree of cure. Resin mechanical properties are assumed to be independent of
moisture content.

Fibre mechanical properties are a function of temperature only.

All ply mechanical properties are orthotropic.

Ply micromechanics models developed for fully cured composite plies exhibit-
ing elastic behaviour are assumed to apply equally for plies which are not fully
cured.

The interface between a composite part and the process tooling can be repre-
sented by an elastic “shear layer” which remains intact until the tool is removed.

Displacement boundary conditions remain constant throughout the solution un-
til the simulation of “tool-removal.” During this calculation, a new set of dis-
placement boundary conditions is applied as appropriate.

The sole contributors to component nodal loads are thermal and cure shrinkage
strains. External mechanical loads such as autoclave pressure are not consid-
ered in this paper!.

'The current version of the COMPRO code can handle nodal loads due to autoclave pressure.
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Governing Equations and Finite Element Discretization

The discretized form of the equilibrium equation for a body with built-in initial
stresses and strains is:

{F} =[K]{3} &)

where {0 }are the global nodal displacements, and the global load vector {F} and
stiffness matrix [K] are given by (e.g. [21]):

nele

®)=3 { [ BIiClleo}aQ—[ (BY' (0y)dQ+[_ INI"(F;}dQ +] [NI"(@}ar}
< Ug, : : g

(2)
nele

[K]=Y [ BI'[CIBIQ 3)
e=1 ¢

For the current plane strain problem, the various terms in the above equation are:

{e} = {e, €, Y.} T, the strain field
[C] = the plane strain material stiffness matrix
{€p},{00} = initial strains and initial stresses

{Fg} = {F, F.}7, body forces

(@} = {®, @}, surface tractions

[N] = matrix of element shape functions

[B] = matrix of displacement shape function derivatives
nele = total number of elements in the discretized domain
Q.I" = problem domain and traction boundary

To minimize storage requirements and solution time, Equation (1) is solved for
nodal displacements, {8}, using a skyline solution algorithm.

In the current formulation, the domain is discretized using bilinear quadrilateral
isoparametric elements [Figure 3(b)] which allows relatively easy meshing of
laminates of arbitrary shape with a reasonable number of elements. To reduce the
number of elements required to discretize a domain, it is permissible to incorpo-
rate multiple plies of any orientation within each composite material element as
shown in Figure 2. Although it is not required that a whole number of plies be con-
tained within an element (e.g., an element can contain 2.6 plies), the number of
plies must be constant across the element “width” [i.e., the &-axis as shown in Fig-
ure 3(a)]. Ply stacking sequence for each composite material region is defined to
begin from a “reference boundary” as illustrated in Figure 3(a). These reference
boundaries are also used to define the orientation of the element local axes with re-
spect to the global axes [angle —B in Figure 3(a) for all regions containing
anisotropic materials.]
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Figure 3. (a) Curved region, showing element local coordinates, local axes orientation and
the region reference boundary and (b) bilinear quadrilateral element and degrees of freedom
(i.e., displacements u,and w,, in the xand z directions respectively, where n is the node num-
ber).

Constitutive Relations

CALCULATION OF PLANE STRAIN MATERIAL STIFFNESS MATRIX

For completeness, the development of the plane strain constitutive relations for
alaminated medium comprised of orthotropic layers will be presented. In particu-
lar, the explicit form of the material stiffness matrix [C] for a single ply will be de-
veloped through appropriate transformations of the general 3-D matrix in the ma-
terial principal directions. For all non-composite (i.e. homogeneous but
orthotropic) materials, material principal directions are assumed to coincide with
the element local axes (x"-z” in Figure 2). Composite material plies are assumed to
be oriented at an angle 0 to the element x’-y” plane [Figure 2(a)].
Starting with the 3-D ply compliance relationship in the principal material axes,
we can write

{e*} =[S*]{c*} “4)
where
Efl={e, & Yo & T Vsl )

and

{o¥}={o, ©, T, O3 T3 Ty} (6)
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and [S*] is a symmetric 6 x 6 compliance matrix with terms calculated from the

ply properties as:

1 —vp 0 —Vi3 0 0
Ey, Ey Ey
l —
_— 0 Va3 0 0
Ey, Ey,
1
G 0 0 0
[5%] = 12 1
— 0 0
. Es
Symmetric |
— 0
Gis
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L Gos |

(N

This 3-D ply compliance matrix can be transformed to the element local axes us-

ing:

[S1= [Ty ' [S*1(( Ty ") ™!

)

where [Tg] is the standard 3-D stress/strain transformation matrix, defined here as:

cos® 0 sin” cos O sin 0 0

sin” 0 cos” 0 —cosOsin® O

[Ty]= —2cosBsin® 2cosBsin® cos’ O—sin’ O 0
0 0 0 1

0 0 0 0

| 0 0 0 0

o o O

0
cos 0
sin ©

oS o O

©))
0

—sin 6

cos 0 |

where 0 is the rotation of the ply local axes (1-2) with respect to the element local
axes (x’-y") as defined in Figure 2 (counter-clockwise rotation is positive).

If we now impose the plane strain condition by suppressing all strain compo-
nents normal to the plane being modelled (i.e. x-z or x’-z" plane), then it can be
shown that the pertinent ply compliance matrix with reference to the local element

axes, x” and 7/, reduces to:
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[S1=([S51-[S41IS{T'[S3]) (10)
where
Sp» Syp 0 ShH S 0
[S{1= Sﬁs 53’3 0 [;[871= Sfa S§4 0
0 0 S 0 0 S
S Sy 0 Sh, S5 0
[Sg]: Sl’4 54;4 0 ;[Sg]: 52’4 S3’4 0 (11)
0 0 S84 0 0 S

The plane strain ply stiffness matrix in the local element axes can then be calcu-
lated by inverting the compliance matrix, i.e.,

[C]=[ST' (12)

Finally, the ply stiffness matrix [C] in the global axes, x-z, can be computed as
follows:

[C]=[T,]" [CI[T;] (13)
where [Tg] is a transformation matrix defined as:

cos’ B sin’B cosPsinf3
[T31= sin® B cos® B —cosPsin (14)

—2cosPsinP 2cosPsinP cos® P—sin’ B

with B being the rotation angle of the element local axes with respect to the global
axes as defined in Figure 2(b).

CALCULATION OF ELASTIC CONSTANTS

All types of materials are assumed to be orthotropic and to exhibit an “instanta-
neously linear elastic” response. Thus, although the elastic constants may vary
throughout the process simulation, the material behaviour at any given instant
(i.e., during any time step) is assumed to be linear elastic.

All non-composite materials are assumed to exhibit orthotropic mechanical be-
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haviour, with elastic constants that vary linearly with temperature only. Compos-
ite plies are assumed to be isotropic in the plane transverse to the fibre directions
(i.e., transversely isotropic). Transversely isotropic fibre elastic constants are as-
sumed to show a linear variation with temperature only. The isotropic matrix resin
is modelled as a “cure-hardening instantaneously linear elastic” (CHILE) mate-
rial. This designation indicates that the resin elastic modulus increases
monotonically with the progression of cure.

Two models for prediction of the development of resin elastic modulus, E,, with
the cure process are currently used in the stress-deformation module, one adapted
from Bogetti and Gillespie [11] and another developed as part of this work [25],
with a formulation similar to the following:

E =E° T* < T
T* T ,
E =E° + — S (E° —E%) T§<T*<Tk (15)
(T = T¢)
E =E° T*>T%

where E? is the “relaxed” resin modulus (E, at 7> T,), Eis the “unrelaxed”
modulus (E,at T < T,) and T* represents the difference between the resin temper-
ature and the instantaneous resin glass transition temperature. T, and Te, are
constants, representing the critical values of 7% at the onset and completion of the
glass transition [25]. For this model, a linear relation between glass transition tem-
perature and degree of cure is assumed so that:

T#=(T] +ap, 0)—T (16)

where Tg is the uncured resin glass transition temperature, o is the resin degree of
cure, and ar, is a constant. As illustrated in Figure 4, this equation is essentially a
more general form of a similar relation presented in Reference [11], with modulus
dependence on temperature and the glass transition considered explicitly.

Given the calculated fibre and resin elastic constants and the fibre volume frac-
tion Vyas inputs, transversely isotropic ply elastic constants can be determined
from the ply micromechanics model developed by Bogetti and Gillespie [11] (see
Appendix A).

Solution Procedure

The solution technique used by the stress-deformation module can be described
as an “incremental instantaneously linear elastic plane strain analysis.” Using this
approach, the total solution at the end of a given time step is simply the summation
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Figure 4. Models for resin elastic modulus development: (a) after Bogetti and Gillespie [11]
and (b) COMPRO.

of the incremental elastic solutions from all previous steps. Thus, for example, the
total nodal displacement at the end of module time step k is determined from the
sum of calculated displacements at all previous steps, i.e.,

k
{8} = (A3}, (17)

i=1

The change in nodal displacements, {A8}, during a time step is determined by
solving the set of linear algebraic equations:

{A8) = [K] ' {AF} (18)

where {AF} is the change in the global force vector during the step and [K] is the
global stiffness matrix, calculated from Equation (3). The material elastic con-
stants used to determine both {AF} and [K] are calculated on an ele-
ment-by-element basis at the beginning of each step from “averaged” element
state variables (e.g., temperature, resin degree of cure, fibre Vp as illustrated in
Figure 5. It should be noted that the matrix inversion indicated in Equation (18) is
only symbolic as all matrix solutions in COMPRO are performed using a “sky-
line” solution technique (e.g., [22]).

In the current analysis, external boundary loads on the structure have been ig-
nored. Thus, the change in the element nodal force vector for each step, {Af},, is
composed entirely of contributions from element thermal and cure shrinkage
strains, i.e.,
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Figure 5. State variables used for calculation of mechanical properties used throughout
time step k. These state variables are all available from previous calculations of the “up-
stream” thermochemical and flow modules.

(at), = [ [BI'[Cl{Ag,}a0 (19)

where {Ag} is the change in the element “initial” strain vector, composed of ther-
mal and cure shrinkage strains during the step (see Appendix A).

For elements containing non-composite materials or composite elements with
only one ply (or a portion of one ply) {Af}, and all other volume integrals are eval-
uated using a standard Gaussian integration technique employing four integration
points per element [Figure 6(a)]. For elements containing multiple composite
plies, a Gauss-Trapezoidal integration technique is used. As shown in Figure 6(b)
a total of four integration points (2 x 2) are employed for each composite ply, two
in the standard Gauss locations along the element & direction (i.e. & =+1/ \/g),
and one at each ply interface in the n direction.

The numerical integration within each element can be expressed as:

[ ] fee2dndz =

nply n n

nply
_1 2 _1 FEMOIJ | d&dn, | = ZZZf(il,nka”k wiw,, (20
1

k=1 I=1 m=1

where 7 is the order of the integration (n = 2 in this case) and w; and w,, are the
standard weight factors associated with the Gaussian and Trapezoidal integration
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schemes. Also, nply is the number of plies, 1, is the matrix of integration points in
the element 1} direction, and | J|; is the determinant of the ply (not the element)
Jacobian matrix of transformation between the x-z and &-1 planes.

After solving for the change in element nodal displacements, {Ad}, in each step,
the change in element constraint strains, {Ags},, and element constraint loads,
{Af},, are determined as outlined in Appendix A. The element constraint strains
are defined as the difference between the fotal element strains and the total com-
bined element thermal and cure shrinkage strains. Element constraint loads are the
difference between the fotal element nodal loads and the element nodal loads in-
duced by thermal and cure shrinkage strains.

Throughout the model simulation, solution time step is dynamically adjusted to
optimise the computational effort. Maximum time step size is calculated on the ba-
sis of the rate of solution change (e.g. temperature or degree of cure) and the rate of
change in mechanical properties. Thus, calculations are performed more fre-
quently when the model state variables are changing quickly (e.g. the part is curing
rapidly) and less frequently during periods when they are changing slowly.

Integration points

Z 4
X
a)
Integration points (one on n
each side of the interface)
ﬂnply+1 —a—-_
> < °
z 4
7, ° °

7, @ —o

b)

Figure 6. Integration points for calculation of element stiffness and load matrices: (a) for
non-composite materials and elements containing only a single composite ply and (b) for el-
ements containing multiple composite plies. Shown in both global (left) and element natural
coordinates (right).
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At the end of the simulated process cycle, the stress-deformation module per-
forms two additional calculation steps to model processes which occur after the
component is removed from the autoclave. The first of these is a simulation of part
“cool-down.” This step simply involves resetting the component temperature uni-
formly to its initial value (usually room temperature), thereby removing any re-
maining elastic thermal strains. At the end of part cooling, the processed structure
and any tooling typically remain attached with residual stresses remaining be-
tween them. To predict the “final” post-processed component shape, the process
of separating the structure from the tooling is also simulated. This tool removal
simulation is performed in a single (elastic) step and the change in the solution
added to the pre-tool-removal solution. The procedure used for this simulation is
illustrated schematically in Figure 7 and outlined below:

1. Create a finite element description of the tool removal problem. The new F.E.
mesh is identical to that used in the cure cycle simulation, except that all “tool-
ing” elements are removed and a new set of appropriate displacement boundary
conditions is imposed.

Step 1: . Residual Tool
Remove Tooling
Force
Elements
__ﬁ
a) b)
Step 2:
Add Negative of
-ve of Residual Tool-Part Forces
Tool Force >
c) d)

Figure 7. Schematic of the simulated tool removal process: (a) prior to tool removal, part
and tool in equilibrium, part conformed to tool shape; (b) tooling removed, residual tool/part
interface forces remain; (c) add negative of interface loads to obtain stress free interface and
(d) predicted part shape after tool removal.
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2. Assemble the tool removal global stiffness matrix, [Kyg], and initialize the tool
removal global load vector, {Ftg}, to zero.

3. Sumthe fooling element nodal loads, {f;},, for all nodes falling on the tool/part
interface and add to the tool removal global load vector. The addition of these
forces effectively creates a stress-free interface.

4. Solve for the part displacements during tool removal, {Srg }=[Krrl™ {Frr}

5. Add the calculated displacements to the pre-tool-removal solution to find the
final part shape.

The solution algorithm used by the stress-deformation module can be summa-
rized as follows:

1. Calculate maximum allowable module time step, considering current rate of
change of solution (i.e. maximum rate of change of modulus or strain within
the domain).

2. Check if the module is to be RUN; if not, RETURN to MAIN program.

3. Update mechanical properties (elastic constants, thermal expansion coeffi-
cients, etc.).

4. Reset global stiffness matrix [K] and global nodal force vector {F}.

5. Loop over all model elements.

6. Calculate element stiffness matrix [k], and change in nodal load vector,
{Af}, using Equations (3) and (19), respectively.

7. Calculate change in element initial strain vector, {Ag}, (see Appendix A).

8. Apply essential boundary constraints (i.e., fixed and sliding nodes).

9. Assemble [k], and {Af}, into global matrices [K] and {F}.

10 Solve for change in nodal displacements, {Ad}=[K]' {AF}.

11. Calculate the change in element constraint strains, {Ag;}, (see Appendix A).

12. Calculate the change in element constraint loads {Af;}, (see Appendix A).

13. Calculate total nodal displacement by summing over all time steps, using
Equation (17).

14. RETURN to MAIN program

Model Verification

Before applying the model to predict the development of residual stress and de-
formation in real components, a number of verification runs were performed to
verify the element formulation and implementation. These runs were used to com-
pare the model predictions with exact solutions and results of other established nu-
merical codes for a number of simple geometries and material types.

One of the most important and illustrative verification tests employed was the
calculation of “spring-back” of a curved composite laminate as a result of a uni-
form temperature change. Spring-back of curved composite shapes due to
non-uniform thermal strain (i.e. difference in strain in x and z) is one of the most



1450 ANDREW JOHNSTON, REZA VAZIRI AND ANOUSH POURSARTIP

important and widely recognised sources of process-induced deformation in com-
posite materials [16].

The part geometry and nodal constraint conditions employed throughout the
verification run are illustrated in Figure 8(a) along with the finite element mesh for
the “nominal” case. In all cases, the part inner surface is used as the region “refer-
ence boundary” from which ply layup and material principal directions are de-
fined. The elastic constants and thermal strain coefficients used are for a “typical”
cured carbon fibre epoxy material and are tabulated in Table 1. In all cases, a total
temperature difference of 180°C is applied.

For a symmetric laminate, spring-back due to a temperature change can usually
be estimated very closely using the following equation [16]:

T T
A9=9{M} Q1)
1+ arAT

where 0, is the “included” angle (90° in this case), and ocﬁ and ocg are the thermal
strain coefficients in the radial and circumferential directions, respectively. Note
that the convention used here is that positive spring-back corresponds to a de-
crease in the included angle [see Figure 8(b)].

Model predictions for four different types of laminate layup and a variety of
mesh densities are shown in Table 2 and compared to predictions of the commer-
cial finite element code MSC/NASTRAN®. As expected from theory, the [90],
(i.e. with fibres perpendicular to the plane shown in Figure 8) laminates exhibit no
spring-back whatsoever due to the assumed isotropy in the plane of interest. The
greater predicted spring-back of the [0], laminates as compared to the
quasi-isotropic laminates ([0/45/90/—45]s and [0/45/90/-45/-45/90/45/0]) is ini-
tially surprising since the difference between circumferential and radial thermal
strains is normally greater for the latter layup [23,24]. The opposite is found in this
case due to the use of a plane strain formulation which suppresses both the large
out-of-plane thermal strains of the [0], laminates and the much smaller strains of
the quasi-isotropic laminates in this direction.

As shown in Table 2, the predictions of the current model compare very well

Table 1. Mechanical properties used in the thermal strain
spring-back verification test.

Parameter Value(s) Employed

Elastic constants Eq4 =122.2, E5 = 9.88, Eg3 = 9.88, Gy, = 5.18,
(Stiﬁnesses in GF’a) G13 = 518, G23 = 336, Vio = 0268, Viz = 0268, Vo3 = 0.471
Thermal expansion
coefficients (x10-6/°C) of =0.60, 0} = 28.6,af =28.6
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Figure 8. (a) Geometry employed for the thermal strain spring-back verification test (note
that the finite element mesh shown is for the nominal case only and (b) change in laminate
shape following temperature change, showing springback angle A®.

with those of NASTRAN in all cases. These results also show that the model pre-
dictions are not highly sensitive to the number of plies per element, verifying that
both the standard Gaussian integration technique (used when the number of plies
perelementis 1) and the Gauss-Trapezoidal technique (used when number of plies
per element > 1) give essentially identical results.

Table 2. Model spring-back predictions for various cured carbon
fibre/epoxy laminates subjected to a temperature change of AT = 180°C.

Number of
Laminate Plies per Model NASTRAN Prediction  Difference
Layup Element Prediction (1 ply per Element) (%)
[0] 0.167 -0.6612° — —
[0]40 1.67 -0.6614° -0.6611° -0.05
[90] 0.167 0.0000° — —
[90]40 1.67 0.0000° — —
[0/90/0/90] 1.0 -0.6126° -0.6126° 0.00
[0/90/0/90] 55 2.0 -0.6121° — —
[0/45/90/-45] 0.5 —0.5934° — —
[0/45/90/-45], 1.00 —0.5939° 0.5931° -0.13
[0/45/90/-45]; 2.00 —0.5936° — —

[0/45/90/-45/
-45/90/45/0], 4.00 -0.5941° — —
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MODEL APPLICATION

In this section, the model is used to predict process-induced deformation of vari-
ous L-shaped, angle laminates (channel sections) with the geometry shown in Fig-
ure 9(a), and these predictions are compared to experimental measurements.

Experimental Procedure

In the experimental component of this work, four different types of 24-ply
L-shaped laminated specimens were laid up ply-by-ply on a solid convex alumi-
num tool as illustrated in Figure 9(b). Three of the laminates employed symmetric
layups, one quasi-isotropic ([90/—45/+45/0]¢), and two unidirectional ([0],4,
[90],4). Three specimens with each of these layups were processed in an autoclave
using variations of the nominal process cycle shown in Figure 9(c). A single speci-

Y .

X 457 cm

R,=046cm

7.2 cm
a) b)
A

" 177°C - 2hr

2 /

° Air temperature 1.11°C/min

g . .

& \ 107°C - thr /

= / Autoclave pressure

g i«

é L11°C/min. 375 kPa

g ’

£ Vacuum pressure

I,_% FL— 170 kPa g P \

Fullvaom _ f= = = 7 7 [0l kPa == == ==
_______ >

C) Cycle time

Figure 9. (a) Angle laminate geometry, (b) laminate mounted on solid convex aluminum tool
and (c) nominal autoclave process cycle.
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men of an unsymmetric [90,,/0,,] layup was also fabricated so that model predic-
tions for severely warped components could also be examined. The properties
used in each case were those for unidirectional Hercules AS4/8552, a second gen-
eration carbon fibre/epoxy prepreg [25].

After processing, the laminates were debagged, removed from the aluminum
tool and their edges trimmed. A digital image was then taken of the edge of the
specimen tool-side surface and digital analysis software used to determine the to-
tal “included angle,” 6,, from points on the extreme ends of each trimmed “arm.”
The spring-back angle, AB, was then calculated by subtracting the measured angle
from the original 90 degrees (positive spring-back indicating a reduction in in-
cluded angle). Three spring-back measurements were taken for each specimen and
the average value recorded. Measurement repeatability indicates an accuracy of
about = 0.2° for this technique.

Numerical Simulation

The finite element representation used for the angle laminate analysis is shown
in Figure 10. A fairly coarse mesh with a total of 762 isoparametric quadrilateral
elements was employed in this case with 480 elements in the part and the remain-
der in the tool and tool/part shear layer. Previous simulations, including the model
verification tests shown above, indicated that this would provide an adequate
mesh density for this problem. Sensitivity analyses demonstrated that the em-
ployed automatic time stepping parameters chosen (which allowed the model to
dynamically choose a time step from 1 s to 30 s in this case) were appropriate for a
converged solution to be reached.

The boundary conditions employed for this case are as follows:

¢ Heat transfer: A convective heat transfer boundary condition was applied on
all external boundaries. A uniform heat transfer coefficient was assumed and
was calculated in this case to match measured part and tool temperatures during
processing.

¢ Resin flow: The inner surface of the part was fixed to the tool and autoclave air
pressure was applied to the top surface of the part. All boundaries were made
impermeable to resin flow in order to simulate a “no-flow” condition (see
Hubert et al. [6]).

® Mechanical: During processing, single points on the tool were set to “fixed”
and “sliding” as shown in Figure 10(a). A thin elastic “shear layer” (0.37 mm in
thickness), with a modulus set equal to that of the aluminum tool, was placed be-
tween the tool and the part, simulating perfect tool/part bonding. During the tool
removal process, all nodes but one along the part “line of symmetry” were set to
“sliding”; this single node was set to “fixed” to prevent rigid-body motion [see
Figure 10(b)].
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Figure 10. Finite element representation of angle laminate: (a) during processing and (b)
simulation of tool removal process.
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MATERIAL PROPERTIES

The thermophysical and mechanical properties employed in this simulation for
both the aluminum tool and the carbon fibre/epoxy material, including characteri-
sation tests employed, are described in detail in Reference [25]. Material proper-
ties used in simulation of resin flow and fibre bed compaction are provided in Ref-
erence [6].

After the completion of the simulated process cycle, a simulation of the tool re-
moval process was performed and the spring-back angle for the various modelled
laminates was determined using a numerical technique analogous to that used for
the real part. Total solution time in all simulated cases was less than 20 minutes on
a PC employing an Intel Pentium Pro™ 200 MHz processor.

Comparison of Experimental and Numerical Results

As shown in Figure 11 and Table 3, the predicted relative magnitude of the
spring-back angle as a function of layup for the symmetric laminates was found to
correspond with the experimental measurements. Numerical predictions also
compare quite well with experimental measurements for both the quasi-isotropic
laminates ([90/+45/-45/0]¢) and the [0],4 laminates. However, for the [90],, lami-
nates, predicted spring-back angle was much lower than measured. Before exam-
ining this further, it is instructive to compare these results with those obtained by
other researchers. In similar measurements of spring-back in L-shaped carbon fi-
bre/epoxy laminates, both Rennick and Radford [26] and Patterson et al. [27] ob-
served the same trend in spring-back angle with part layup as seen here, i.e.,
ABgo1, << ABpg), < ABygp/445/-45/010- As discussed, this trend can be explained by the
relative difference in radial and circumferential thermal and cure shrinkage strains
for the different laminates.

This difference in strains, however, cannot entirely explain the observed speci-
men behaviour on its own. One problem is that the spring-back angles predicted
for this phenomenon on its own are too small (see Figure 11). While the predicted
differences between the spring-back angles for the different laminates are roughly
the same as observed here (and by previous researchers [26,27]), the predicted
magnitude is about 19 too small in all cases. Clearly, contrary to traditional as-
sumptions, there are important sources of residual deformation in this case other
than those arising from anisotropies in the coefficient of thermal expansion (CTE)
and coefficient of cure shrinkage (CCS).

Close examination of the predicted final laminate shape reveals that, while non-
uniform thermal and cure shrinkage strains (due to CTE and CCS anisotropies)
would result in changes in corner geometry only, the current model predicts that
the laminate “arms” will also warp slightly. Measurements of spring-back angle at
various locations along the arm of the simulated [90/+45/-45/0]¢ laminate show
that the spring-back immediately adjacent to the corner is only approximately
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Figure 11. Comparison of experimental and predicted spring-back angles for angle lami-
nates. Error bars on experimental values represent +/— 1c variation from the mean. Also
shown is the predicted spring-back from strain non-uniformity alone.

1.06°. The difference between this value and the measured value of 2.33° at the
end of the arm is due to arm warpage. Although this might seem to constitute a very
large amount of warpage, as shown in Figure 12, the predicted maximum devia-
tion of the arm edge from a straight line is only about 120 um, a deviation not easily
detected visually in a real part.

A sensitivity analysis (similar to that outlined in Reference [28]) revealed that
the most important source of the predicted arm warpage was tool/part interaction.
As mentioned, perfect tool/part bonding was simulated in this case by setting the
modulus of the interface shear layer equal to that of the aluminum tool. It was
found that varying the assumed shear layer modulus had a tremendous impact on
predicted warpage, causing a change in maximum warpage magnitude of the
[90/+45/-45/0] laminate of greater than a factor of 6, with lesser, but still signifi-

Table 3. Experimental and predicted spring-back angles
for angle laminates.

Experimental Model Strain Non-Uniformity
Laminate Layup Measurements Prediction (Approximate)
[90] 4 1.22° 0.05° 0.00°
[0]o4 1.77° 1.79° 0.5°

[90/45/-45/0]4 1.92° 2.33° 0.7°
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Figure 12. Predicted warpage of angle arms, [90/+45/-45/0] ¢ laminate assuming perfect
tool/part bonding during processing.

cant effects on the warpage of the other symmetric laminates. As illustrated in Fig-
ure 13, shear layer modulus had a similar impact on predicted spring-back angle,
resulting in values ranging from 0.57° to 2.33° for the [90/+45/—45/0]¢ laminate.

The significance of the predicted effect of arm warpage on spring-back angle
prompted re-examination of the experimental specimens. Careful measurements
revealed that, although not noticed originally, the experimental specimens were
indeed warped. As shown in Figure 14, the [90/+45/-45/0]¢ laminates exhibited a
maximum warpage of about 20 um. As also shown in this figure, both the shape
and magnitude of the measured warpage could be closely matched by the model by
employing a shear layer modulus of Gg; = 6 MPa. Returning to Figure 13, how-
ever, it can be seen that using this shear layer modulus also gives much lower pre-
dictions for spring-back angle for both the [90/4+45/-45/0]¢ and the [0],4 lami-
nates. Thus, in this case, the model was not able to predict well both warpage and
spring-back angle at the same time, given the current assumptions made for mate-
rials properties and behaviour, especially with regard to the shear layer.

The unsymmetric laminate ([90,,/0,,]) provides a final point of comparison be-
tween model predictions and experimental results. As shown in Figure 15, model
predictions of arm warpage match the experimental measurements very well, both
in terms of shape and absolute magnitude. A sensitivity analysis showed that in
this case model predictions were not greatly influenced by the assumed shear layer
modulus. Warpage in this case was not primarily related to tool part interaction,
butrather to the very different strains on the top and bottom halves of the laminate.

To achieve improved predictions, to develop further confidence in the model,
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Figure 15. Comparison of measured arm warpage with model predictions for the [9045/0,5]
laminate. Note that warpage is not siginificantly affected by shear layer modulus for this case.

and to improve the model, there is a need for a body of case-studies, and characteri-
sation of the materials and other parameters required by the model. This is an itera-
tive process, as many of the parameters required by the model have never been of
interest previously in demand before. However, there is an increasing body of
case-studies to consider (e.g. References [28,31,32]), which overall show that,
while requiring further refinement, the model described in this paper provides a
good base for the prediction of residual stresses and deformations in composite
structures of industrial interest.

SUMMARY AND CONCLUSIONS

An integrated model for prediction of process-induced deformation during the
processing of composite structures has been developed. A plane strain finite ele-
ment model employing an incremental, instantaneously linear elastic, plane strain
formulation is used to analyse all five major sources of process-induced deforma-
tion identified from the literature including: thermal strains, resin cure shrinkage
strains, gradients in temperature and resin degree of cure, resin flow, and mechani-
cal constraints caused by tooling. The integration of the analyses for all of these
sources allows the model to be employed as a research tool to identify and focus ef-
fort on major process drivers and their variability.

The combination of an optimised solution strategy and advances in desktop
computing capabilities allows rapid analysis of composite structures of intermedi-



1460 ANDREW JOHNSTON, REZA VAZIRI AND ANOUSH POURSARTIP

ate size and complexity using very modest computational resources. The devel-
oped model can therefore also be a useful tool for the composite processor, assist-
ing in tool and structure design, and in the development of robust, optimised
autoclave process cycles.

A representative case study is presented, comparing model spring-back and
warpage predictions with experimental measurements for a series of simple
L-shaped laminates. This study shows that, for symmetric laminates, the model
can predict both trends in spring-back angle with laminate layup and the warped
shape of the laminate. Also, the model is capable of predicting both warpage shape
and magnitude for the single type of unsymmetric laminate examined. However,
for the symmetric laminates, both warpage and spring-back magnitudes cannot be
successfully predicted simultaneously using the assumptions that have been made.
The most likely source of this discrepancy is believed to be an overly simplified
model for tool/part interaction (i.e. the elastic shear layer). The reader is referred
to more case studies that provide further evidence of the applicability of the model
[e.g. References 28, 32].

Not surprisingly, a number of topics require further investigation. There can
never be enough experimental/numerical case studies to determine the relative
contributions and the interactions of various stress and deformation mechanisms
in different types of structures. A much better understanding is required, for exam-
ple, of tool/part interaction, both in terms of how it may be characterised and mod-
elled. Although tool constraints are known by industry to influence part warpage
[29,30], only recently has effort been expended to examine this phenomenon sci-
entifically [32]. Improved techniques are also required for characterisation of ma-
terial property development during processing as well as measurement of stress
and deformation development throughout processing.

NOMENCLATURE

ar, = resin glass transition temperature development model constant
[B] = shape function derivative matrix
[C] = ply plane strain stiffness matrix (3 x 3) in element local axes
[C] = ply stiffness matrix
E;; = elastic moduli
E, = resin elastic modulus (isotropic)
E? = resin modulus development model constant
E7 = resin modulus development model constant
{F} = global nodal load vector
{f}, = element nodal load vector
{f;}. = contribution of element initial strains to the element nodal load vector
{Fg} = global body force vector
{Frr} = tool removal global nodal load vector
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{f5}. = element nodal constraint load vector
G;; = shear moduli
Gg; = shear layer shear modulus
[J] = Jacobian Matrix
k = effective plane strain bulk modulus
[k], = element stiffness matrix
[K] = global stiffness matrix
[Ktgr] = tool removal simulation global stiffness matrix
[N] = element shape function matrix
[S*] = ply 3-D compliance matrix (6 x 6) in ply local axes
[S’] = ply 3-D compliance matrix (6 x 6) in element local axes
[S] = ply plane strain compliance matrix (3 x 3) in element local axes
t = time
T = temperature
T, = initial temperature or reference temperature
T* = difference between resin temperature and its instantaneous 7,

Tzl = resin modulus development model constant

Tﬂéz = resin modulus development model constant
T, = glass transition temperature
T‘; = uncured resin glass transition temperature
[Tg] = stress/strain transformation matrix (ply local axes to element local axes)
[Tg] = stress/strain transformation matrix (element local axes to global axes)
V= fibre volume fraction
o = resin degree of cure

0L§C = composite material cure shrinkage coefficients in material principal di-
rections
T _ . . . . . L .
o;. = composite coefficients of thermal expansion in material principal direc-
tions

B = angle between element local and global coordinate systems
At = time step
A® = spring-back angle (positive spring-back defined as a reduction in in-
cluded angle)
{8}, = element nodal displacement vector
{6} = global nodal displacement vector
{Orr} = global tool removal nodal displacement vector
{e}, = element strain vector
{eo} = ply initial strain vector (3 x 1) in global axes
{ST)} = ply 3-D initial strain vector (6 x 1) in ply local axes
{e(} = ply 3-D initial strain vector (6 x 1) in element local axes
{€} = ply plane strain initial strain vector (3 x 1) in element local axes
{es}. = element constraint strain vector
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{®} = global surface traction vector
I'" = boundary surface area
v;j = Poisson’s ratios
Q = domain volume
0 = ply orientation angle
0, = “included” angle for a curved shape
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APPENDIX A
Equations and Algorithms

CALCULATION OF INITIAL STRAIN VECTOR {¢,}

The nodal forces arising from the change in thermal and cure shrinkage strains
(denoted as the “initial strains”) during each solution time step are the only contri-
butors to the global load vector in the current model. Calculation of the initial
strain vector for each ply arising from the change in these thermal and cure shrink-
age strains during a time step, {€,} is performed as follows.

First, determine the change in ply thermal and cure shrinkage strains in the ply
principal directions i. Thermal strains are calculated as

el =al (1" -T"") (22)

where ocz. are the material thermal expansion coefficients (computed from
micromechanics models) and 7F and T*! are the average element temperatures at
the start and end of the time step, respectively. Cure shrinkage strains are calcu-
lated similarly as

S S oSk S(k—1
e =ap.(e5h —gdhDy (23)

r

where OL‘?C are the composite cure shrinkage coefficients (again calculated from
micromechanics models) and af(k) and 8f(k_1) are respectively the total resin lin-

ear cure shrinkage strains at the start and end of the time step.
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We then define a 3-D initial strain vector, {€{; }, where:
{5} =1{eoq) €02y 0 €0(3)0 0" (24)

and €, is the initial strain in the direction 7, equal to the sum of the thermal expan-
sion and cure shrinkage strains in that direction. This vector is then transformed to
the element local axes using:

{ef} =Ty 1 (&5} (25)

where [Tg] is the stress/strain transformation matrix defined in Equation (9) with
the ply angle 6 defined in Figure 2(a).

Imposing the plane strain condition by suppressing all out-of-plane strains, we de-
fine a plane strain initial strain vector in the element local axes, {€,}, where:

&) = {€ovy o) Yo ) (26)

This vector can be calculated by forcing all out-of-plane strains to zero and de-
termining the resulting change in in-plane strains, using the fact that change in
in-plane loads during this procedure will be identically zero. It can be shown that
the resulting plane strain initial strain vector will then be:

(€} =1l } + [C{T'C el ) (27)

where {g(;, } and {€,, } are respectively the in-plane and out-of-plane terms of the
transformed 3-D initial strain vector, i.e.,

{0} = {&0r) €0y Yo b (€020} = {€0y) Yoy Yoo (28)
and[C{]and[C,] are:
¢ €y 0 ¢, Cs3 0
[C1=|Cl, Ci 0 |;[Ci1=|Cy C3 O (29)
0 0 Ci 0 0 C

where Cl:;. are the terms of the transformed 3-D stiffness matrix defined by
[C’] = [S’]7! where [S"] is defined in Equation (8).

In the final step of this procedure, the ply internal strain vector in the global axes
is calculated using:
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feo) =ITy1 7' (&} (30)

where [Tp] transformation matrix defined in Equation (14) with 3 defined in Fig-
ure 2(b).

CALCULATION OF ELEMENT CONSTRAINT STRAIN VECTOR {¢g},

We define an element strain and an element “constraint” strain {€4},. Element
constraint strain is defined as the difference between element thermal and cure
shrinkage strains and the total element strain, {€},, i.e.,

{es). = (e}, —{gp). (3D

To solve for the change in element constraint strain vector during a calculation
time step, we first determine the change in the element initial strain vector, { A&},
from the initial strain vectors of all the plies contained in that element. The first
step in this calculation is determination of the change in element initial load vector
caused by the initial strains of all plies within that element using:

(86}, = [, [BY"ICI{Aeo 2 (32)

where both the stiffness matrix [C] and the initial strain vector {Agy} vary from ply
to ply. After calculation of the element stiffness matrix, [k],, we then solve for the
change in element nodal displacements that would be generated from the change
in initial strains using

{AS,}, = [K],'{Afy) (33)

e
applying to the element the minimum number of constraints required to prevent
free-body rotation as shown in Figure 16(a).

From the calculated change in element nodal displacements, {Ad,},, we then
calculate the change in the element initial strain vector, {Ag},. Finally, as illus-
trated in Figure 16(b), after solving for the change in global displacements during
the step, the total change in strains for each element, { Ag},, are determined and the
constraint strain vector for each element calculated using Equation (31) above.

The algorithm used to calculate element constraint strain is as follows:

1. Calculate element stiffness matrix, [k],, and change in initial load vector
{AfO}e‘

These strains are those which, because of geometrical constraints, lead to stress development. We have deliber-
ately refrained from using the term “mechanical” strains to avoid confusion with strains arising from mechanical
loads.
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2. Apply element essential boundary conditions.

3. Calculate change in element nodal displacements and element strains due to
internal strains, {Ad,}, and {Ag,}, respectively.

4. Solve for change in global nodal displacements during the step, {Ad} =
[K]'{F}.

5. Calculate actual change in element strains {Ae}, during the step.

6. Calculate change in element constraint strains during step, {Ags}, =
{Ae}, - (A0},

7. Add contribution of change in element constraint strain during step to total
constraint strain.

CALCULATION OF ELEMENT CONSTRAINT LOAD VECTOR {fs}e

In order to perform the tool removal simulation, the constraining loads applied
to the nodes of each element by its neighbours must be calculated. Since material
mechanical properties change during processing, this calculation must be per-
formed at each time step and the results summed to arrive at the element constraint
loads at any given time, i.e.,

k
{fG }ek = 2 {Afc }en (34)
n=1
4,
) Y — 4, {5,}, =[] {ar), {ae.}, =[B}{as,},
Yo = —
—> 4f,
v 4L
a)

b)

Figure 16. Calculation of changes in element strain vectors during a time step: (a) initial
strain vector (arising from initial ply strain) and (b) total strain vector (arising from all sources,
including initial strains).
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where k is the time step number. The value of {A f;}, is determined from the
change in element constraint strains in the step by replacing the ply initial strain
vector, {Ag,} in Equation (32) with the element constraint strain vector, {Ags},,
i.e.,

(Af, ), = [ BI'ICI{Ae,),dQ2 (35)

Note that in this case while the stiffness matrix [C] again varies from ply to ply,
{Ags}, is the same for all plies in the element.

The algorithm used to determine the element constraint load vector, {fs},, is as
follows:

Calculate the ply compliance matrix [S*] in ply local axes [see Equation (7)].
Loop over all plies in the element.

Transform [S*] to element local axes to obtain [§'][see Equation (8)].
Calculate material plane strain stiffness matrix [C] [see Equation (12)].
Transform [C] to global axes to obtain [C] [see Equation (13)].
Calculate {Af;}, for the ply.

Add contribution of ply load, {Af;},, to element load, {f;},.

Nk wbh =

PLY MICROMECHANICS MODEL

Given as inputs the transversely isotropic mechanical properties of the fibres
(Evis, Esses Grap, Viss and Vazp), the properties of the isotropic resin (E,, v,) and the
fibre volume fraction, V}, ply mechanical properties are calculated as follows us-
ing a micromechanics model from Bogetti and Gillespie [11]:

In-Plane Moduli:

AV, = Vis )k kG, (1= V)V,

E,.=E ,V,+E(0-V,)+ 36
n=EngVp +E(1=Vp) (ky + G)kg + (ky = k,)G,V; .
where
E
G, =—r 37
2(1+v,)
1
Ey =Ey = 2 o9
(1/4kyp) + (1/4Gyy) + (Vi 1 Ep)
Shear Moduli:
(G 3 +Gr)+(G ’ _Gr)v
G, =G =G B = ! 39

' (Gizp +G,) = (Gizp — GV



A Model for Process-Induced Deformation of Composites 1467

G, [k, (Gg + Gysp) + 263G, + k,(Gysy — G, )V, ]

23 = (40)
k.(Gyy + G, ) +2Gy3,G, — (k, +2G, )Gy — G,V
where
Ear s
Gy = _BF (41)
T 2014 vpsp)
Poisson’s ratios
v, =V )k, —k:)G.(1-V)V
Via =Vi3 = VigVp 4V, (= V) + - : e KCeY
(ky + Gk, + (kp — k)G, V;
2E, k; — E\\Ey, — 4Viik E
Vs = 1k 1L 1387 L2 (43)

2E, ky
In the above, k is the so-called “isotropic plane strain bulk modulus™ [11] de-
fined by

E

k:—z
2(1—-v-=2v7)

(44)

and kr is the effective plane strain bulk modulus of the composite defined by
(ky + Gk, +(kp — k,)G,V,
(ky +G,) = (ky —k)V,

(45)

T

Calculation of Thermal and Cure Shrinkage Strains

Ply strains in the material principal directions arising from strains of the constit-
uent resin and fibre are calculated from the fibre and resin mechanical properties
and strains as follows:

. = & BV, +eE(1-V))

1 (46)
Ey, Vy +E(1-V;)
€) =&3=(&yp +Vi35€p)Vy +(€, +V, €)1 =V))
&, E V, +e,E.(1-V,)
Vg, Vy v, (1= V| LR ! 47)

To calculate composite thermal expansion coefficients (ag. ), theresin and fibre
strains are replaced by their respective thermal expansion coefficients.
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